ABSTRACT
INTRODUCTION

22
A modern seismic design philosophy is to isolate damage in steel energy dissipation devices 23 and protect the main structural members from yielding with the aid of capacity design rules.
24
Energy dissipation devices can be designed to be easily accessible and replaceable (if needed) 25 so that repair costs and downtime in the aftermath of strong seismic events can be while their tips were attached to the top horizontal plate.
153
Loading protocols
154 Table 2 lists the loading protocols that were used for the tests. All the loading protocols were 155 applied under displacement control at a rate ranging from 5 to 40 mm/min. The first loading 156 protocol, denoted as AISC protocol, is the one recommended in ANSI/AISC 341-10 (AISC in Baiguera et al. (2016) . Preliminary values of uy were derived from the results of the 161 simulations using the three-dimensional FEM sub-models of the SSPs presented in Baiguera 162 et al. (2016) . Based on the above, uy is equal to 8 mm and uDBE equal to 17 mm for SSP1, 163 while the same quantities are equal to 5 mm and 14 mm for SSP2. The AISC protocol 164 prescribes a loading history that consists of increasing imposed displacements with amplitudes uy, 0.5uDBE, uDBE, 1.5uDBE, and 2uDBE, each one applied for two cycles. To fully 166 characterize the hysteretic response of each SSP up to fracture, the AISC protocol was 167 extended to include four additional cycles at 1.5uDBE, followed by two cycles at 2.5uDBE, and 168 then a series of cycles with an amplitude increased by 0.5uDBE every two cycles.
169
Both specimens were tested under ultra-low cycle fatigue loading histories, i.e. constant 170 amplitude (CA) and randomly-generated protocols. The imposed amplitudes are defined as 171 multiples of the SSP yield displacement. SSP1 was tested under CA = 4 y , 5 y , 6 y and 7 y , 172 while SSP2 was tested under CA = 4 y , 5 y , 6 y , 7 y and 8 y . Both specimens were also 173 tested under random loading protocols, which consisted of randomly generated number of 174 cycles and imposed displacements. These protocols were defined assuming imposed 175 displacement values in the range of 2 to 8 times uy and number of cycles between 1 and 9.
176
Note that the selected range of applied displacements for the tests reflects the demand that
177
SSPs are expected to resist in the proposed dual CBF-MRF, where larger displacements lead 178 to the activation of the friction pads.
179
EXPERIMENTAL RESULTS
180
Cyclic behavior and fracture of SSPs The rest of the tests were executed up to full-section fracture of the specimens. Fig. 6 shows 187 the hysteresis of SSP1 and SSP2 under the CA loading protocols. Fig. 7(a) . These fracture locations are 193 denoted as sections 1 and 2, where section 1 is the one closest to the lower supporting plate.
194
The number of cycles to fracture initiation were recorded for each ultra-low cycle fatigue test 195 and are reported in Table 2 . Once fracture initiation occurred, several micro-cracks were 
203
The force-displacement curves are characterized by a slight pinching at zero force due to the 204 small clearance (0.2 mm) in the holes of the supporting plates that allows the pins to slip. It 205 can be observed from Figs. 5 and 6 that the hysteretic curves exhibit a hardening behavior at 206 large imposed displacement. This behavior is more evident in the CA protocols for CA> 6uy 207 for SSP1 and CA> 5uy for SSP2. This hardening response is attributed to the welded collars 208 that at large imposed displacements bore on the vertical plates, while they were not in contact 209 with them at small amplitudes (as shown in Fig. 8 ).
210
Energy dissipation capacity
211
The energy dissipated by a SSP in a cycle, W, is calculated as the area enclosed by the force- experiencing a more visible drop in its energy dissipation capacity than SSP1. However,
218
SSP2 sustained a larger number of cycles than SSP1.
219
The energy dissipation curves computed for the AISC tests are shown in Fig. 9(c) . SSP1 220 appears to have a higher energy dissipation capacity in the initial cycles. This observation is 221 consistent to all tests and can be attributed to the fact that the clearance between the external 222 diameter and the supporting plate holes was slightly bigger in SSP2 than in SSP1. However,
223
SSP2 reached full-section fracture after having sustained more cycles than SSP1 under CA 224 loading protocols. 
231
Prediction of strength of SSPs
232
The strength of an SSP is predicted using the design equations presented in Vasdravellis et al.
233
(2014) with modifications to account for the exact location of the plastic hinges. Fig. 7(a) 
234
shows that the plastic hinges form at midway between De and Di. Therefore, the strength of 
where LPH = LSSP/2, and DPH = (De+Di)/2, based on the geometric properties shown in Fig. 2 . 
where and ∆ 0 are parameters with values that result in the best fit to the points in Fig. 11 .
254
The calibrated values of ∆ 0 and are 350 mm and -0.6 for SSP1, and 455 mm and -0.6 for 255 SSP2.
256
The Palmgren-Miner linear damage accumulation rule is applied to the random tests:
where i is the number of cycles applied at a given amplitude, f,i is the number of cycles 258 required to reach fracture at that given amplitude, and is the damage index, which is equal to 1 when the low-cycle fatigue life is reached (Bruneau et al. 2011) . Table 3 shows that the 260 fracture prediction using Eq. (3) for the randomly generated cyclic loading protocols is in 261 good correlation with the experimental results: SSP1 fractured at the end of phases 14 and 9
262
for which the Miner's rule estimates a value of equal to 1.14 and 1.08, respectively, while 263 SSP2 fractured at the end of phase 9 for which the Miner's rule estimates a value of equal 264 to 0.99.
265
The calibrated parameters are only valid for the specific geometries tested in this study.
266
Instead, the mechanics-based fracture models, presented below, can be used to estimate the 267 facture behavior of new geometries under ULCF, without the need for further tests. triaxiality, which is defined as the ratio of the mean stress, σm, to the von Mises stress, σe.
268
MICROMECHANICS-BASED FRACTURE MODELS
278
The VGM assumes that ductile fracture initiates when a quantity named void growth index 
283
The SMCS model does not account for variations in triaxiality during the loading history.
284
Fracture initiation occurs when ̅ reaches the critical value ̅ critical :
where α is the toughness index. calibrated the parameters of the VGM and SMCS models for the A992 steel grade.
290
The Abaqus software offers a general criterion for predicting ductile fracture initiation that is
291
given by:
where critical is the fracture initiation index that increases monotonically with plastic assumed that fracture initiation occurs.
296
More recently, a fracture criterion under monotonic loading that depends on both the 297 triaxiality and the Lode angle parameter was proposed in Wen and Mahmoud (2016a).
298
Fracture prediction under ultra-low cycle fatigue 299 In seismic applications, the initiation of ductile fracture in metals typically occurs due to 300 ULCF, i.e. the material is subjected to a relatively small number of large inelastic cycles.
301
Under this loading condition, the fracture mechanism is more similar to monotonic ductile fracture rather than low or high cycle fatigue failure that typically involves hundreds or 
The model assumes that fracture initiates in the material only under positive triaxiality. 
where 2 and 3 are the second and third stress invariants of the deviatoric stress tensor.
331
varies from -1, in case of axisymmetric compression, to 1, in case of axisymmetric tension. and protocols with increasing amplitude where the specimen was subjected to amplitudes 356 increased by 2 y every four cycles. Table 4 provides a summary of the loading protocols.
357
The specimens were instrumented with a 50-mm gauge length extensometer as shown in Fig.   358 12(b). The tests were performed under displacement control with a rate of 1 mm/min. The 359 imposed displacement was controlled by the extensometer.
360
The monotonic force-displacement curves of CNS-2 are shown in Fig. 13(a) . 
FEM simulations of the coupon tests
Nonlinear three-dimensional FEM models of the CNSs were created in Abaqus. Fig. 12(b 
where 0 is the yield stress, t is the transposition operation, S is the stress deviator, σ is the 385 stress vector and α is the backstress vector. The hardening laws for each backstress are 386 defined as:
where a superimposed dot indicates an incremental quantity, B is the total number of the 388 backstresses, Ck and γk are the constitutive material parameters to be calibrated against the 389 experimental results, and ̅ is the equivalent plastic strain rate. The evolution of 0
390
(isotropic hardening component) is defined by the following exponential law:
where | 0 is the yield stress at zero plastic strain, b defines the rate at which the size of φ(σ) 392 changes for increasing plastic strains, and ∞ is the maximum change in the size of φ(σ).
393
Several simulations were iteratively conducted to identify the values of the parameters that in Fig. 13(a) . The values of VGI monotonic critical along with the plastic strain and triaxiality at fracture for the three CNS geometries under monotonic loading are summarized in of the specimen based on the force time history. Fig. 15(a) shows the force versus cycle 416 evolution for CNS-2 subjected to no. 3 loading protocol ( is consistent with the large fracture capacity exhibited by the coupon specimens.
422
Calibration of the ductile fracture initiation and evolution criterion in Abaqus
423
The calibration of the Abaqus ductile fracture initiation criterion involves determining the determining αcyclic was applied to all CNS cyclic tests and the results are summarized in Table   431 6. cyclic has a mean value of 10.6 and a standard deviation of 1.4. The excessively small value of 5.5 resulted for specimen CNS-2 under no. 2 loading protocol was disregarded as 
447
In addition, the damage evolution capability offers the removal of the elements from the 448 mesh when the damage evolution index Devol in Eq. (17) is equal to 1:
where dam is the 'damaged' stress of the material (Dassault Systèmes 2014). The 
456
Validation of fracture parameters using the CNS tests 457 To validate the Abaqus fracture models for ultra-low cycle fatigue loading, the cyclic CNS 458 tests were simulated in Abaqus/Explicit using the fracture parameters described in the 459 previous section. The experimental and numerical hysteresis and force evolutions of three 460 cyclic tests (one for each CNS geometry) are shown in Fig. 18 . The calibrated Abaqus 461 fracture initiation and evolution model capture well the response of CNSs.
462
SIMULATION OF CYCLIC BEHAVIOR AND DUCTILE FRACTURE
463
OF SSPs
464
Three-dimensional FEM models of SSP tests 465
Three-dimensional FEM models of the full-scale tests on SSPs were constructed in Abaqus.
466
Only half of the test setup was reproduced in full detail due to its symmetric geometry. The 467 steel collar and the triangular stiffeners were included in the model. Fig. 19 shows the mesh 468 discretization applied to the FEM model of SSP1 along with the boundary conditions. Three-469 dimensional hexahedral elements with reduced integration (C3D8R) were used for all the 470 parts of the assembly. A symmetry condition was defined to the nodes of the symmetry plane.
471
The grip of the testing machine jaw faces was simulated by restraining all the degrees of 472 freedom on the surface of the vertical plate welded to the bottom plate assembly. The 473 imposed displacement history was applied to the upper supporting plate assembly as shown 474 in Fig. 19 . A relatively coarse mesh was used for the steel plate assemblies, while a more 475 refined mesh is applied to the SSPs, where inelastic deformations and fracture were 476 experimentally observed. To keep the computational time of analysis at reasonable levels, the 477 average mesh size in the bending parts of the SSPs was 3 mm. It is noted that unlike fracture 478 in existing crack tips or sudden geometric changes, the stress state at the free surface of a SSP is smooth, and the fracture models are less sensitive to the mesh size (Vasdravellis et al. 2014 ). Therefore, the adopted mesh was considered a reasonable trade-off between 481 computational time and accuracy.
482
Surface-based tie constraints, which impose equal displacements among the nodes of two 483 surfaces, were used for modelling the welded joints in the two steel plate assemblies, i.e.
484
between the lower and vertical plates, the triangular stiffeners at the base of the plates, and the holes of the supporting plates was modelled accurately.
516
CVGM fracture predictions
517
The SSP simulations were post-processed to evaluate the accuracy of the CVGM to predict 518 fracture in the SSPs. The stress and strain histories at the locations of fracture, i.e. at mid-519 distance between De and Di (Fig. 3) , were extracted at the end of the analyses. The results
520
were then used to derive the VGI cyclic and VGI cyclic critical histories. Table 7 for all tests. The results
527
indicate that the calibrated CVGM parameters predict with good accuracy the fracture in the
528
SSPs with a maximum error of 12%.
Explicit simulation of SSP fracture in Abaqus
530
Explicit fracture simulations of the SSPs were performed in Abaqus using the fracture 531 initiation criterion shown in Fig. 16 . The parameters of the damage evolution model, which 532 depends on the mesh size (i.e. Lchar), were modified to account for the 3-mm average element 533 size used in the bending parts of the SSPs. The results of fracture initiation predictions for all the simulations are summarized in an accurate prediction for all the ultra-low cycle fatigue tests.
558
Following fracture initiation, the numerical force-carrying capacity of the SSPs decreases 559 because of the deletion of elements from the mesh according to the damage evolution model. 
